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Abstract
For the thermal control of electronic components in aerospace, automotive or server systems, the heat sink is often located far
from the heat sources. Therefore, heat transport systems are necessary to cool the electronic components effectively. Loop heat
pipes (LHPs) are such heat transport systems, which use evaporation and condensation to reach a higher heat transfer coefficient
than with sole heat conduction. The operating temperature of the LHP governs the temperature of the electronic components,
but depends on the amount of dissipated heat and the temperature of the heat sink. For this reason, a control heater on the LHP
provides the ability to control the operating temperature at a fixed setpoint temperature. For the model-based control design of the
control heater controller, the current LHP state-space model in the literature focuses on the setpoint response without modeling the
fluid’s dynamics. However, the fluid’s dynamics determine the disturbance behavior of the LHP. Therefore, the fluid’s dynamics are
incorporated into a new LHP state-space model, which is not only able to simulate the LHP behavior under disturbance changes, but
is also used for the model-based design of a robust nonlinear controller, which achieves an improved control performance compared
to the nonlinear controller based on the previous LHP state-space model.
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Nomenclature
Latin symbols
Ac Cross-sectional area of transport line/condenser, m2
Aw f Substance specific parameter in Antoine equation
Bw f Substance specific parameter in Antoine equation
Cw f Substance specific parameter in Antoine equation
cp Specific heat capacity, J kg−1 K−1
Dc Diameter of transport line/condenser, m
h Specific enthalpy, J kg−1
∆hv Specific heat of evaporation, J kg−1
k Heat transfer coefficient, J kg−1
L Length, m
m Mass, kg
m˙ Mass flow rate, kg s−1
p Pressure, Pa
Q˙ Rate of heat flow, W
R Specific gas constant, J kg−1 K−1
Rp Pore radius, m
Rwick Thermal resistance of wick, K W−1
T Temperature, K or ◦C
t Time in continuous form, s
V Volume, m3
x Vapor quality
Greek symbols
α¯ Mean void fraction
η Length of two-phase region in condenser, m
µ Dynamic viscosity, Pa s
ρ Density, kg m−3
σ Surface tension, N m−1
θ Contact angle, ◦
Subscripts and Superscripts
amb Ambient
cap Capillary
c Cross-section of transport line/condenser
cc Compensation chamber
cc,in Inlet of compensation chamber
cond Condenser
evap Evaporator
fri Friction
l Liquid
ll Liquid line
op Operating point
p Pore
sc Subcooled region of condenser
sink Sink
v Vapor
wf Working fluid
wick Wick
2ϕ Two-phase region of condenser
1. Introduction
Loop heat pipes (LHPs) are passive, two-phase heat transport
systems with their origin in the thermal control of aerospace
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systems [19]. In recent years, their application has spread to
other technology areas such as server systems ([28], [20]) and
automotive systems ([22], [2]). Their advantage is based on
an effective and reliable heat transport with a working fluid be-
tween distributed heat sources and heat sinks. The phase of the
working fluid inside the LHP is changed through evaporation
and condensation to achieve a higher heat transfer coefficient
than with direct heat conduction. Furthermore, their passive
working principle enables a mass flow in the loop between the
locally separated evaporator and condenser over long distances
compared to traditional heat pipes by using capillary forces in a
porous wick inside the evaporator instead of an error-prone me-
chanical pump. However, the operating temperature of the LHP
varies with the operating conditions during heat transportation
and must be controlled with an additional control heater in order
to stay in a desired temperature corridor ([13]). The changes of
the operating conditions are traced back to mainly two causes:
On the one hand, the sink temperature varies due to external
influences on the heat sink, e.g. fluctuating insolation on the ra-
diator in the orbit or variable air movements at the air cooler on
earth. On the other hand, the electronic components dissipate
different amounts of excess heat depending on their operating
statuses that form the total heat load at the evaporator.
Simple control algorithms for the control heater are used ex-
perimentally to control the LHP operating temperature (heuris-
tic PID controllers ([16], [15]) and two-point controllers ([10],
[16])). However, model-based controllers for control heaters
to overcome the complex performance characteristics of LHPs
are rare in the literature owing to the fact that most LHP models
(e.g. [24], [9], [3], [2], [21]) are of numerical nature for LHP
design characterization and LHP simulation, but unsuitable for
model-based control design. Similar focus on the LHP design is
set with analytical LHP models in [25] and [18]. In [17], differ-
ential equations for the dynamic behavior of the LHP without
a control heater are established to analyze the LHP temperature
oscillations at the borders of the LHP operating range without
presenting the solution procedure of the system of equations.
A first model-based control design approach is motivated
in [5] by the proportional time-delaying behavior of the CC
temperature, which controls the operating temperature of the
LHP [12]. The transfer function of the CC temperature as lin-
ear black box model is identified to calculate the PI parame-
ters of a two-degree-of-freedom controller for improved distur-
bance response. In [6], the PI parameters are physically mo-
tivated with a linearized LHP state-space model and the sta-
tionary mass flow rate as system parameter. However, to im-
prove the robustness of the LHP operating temperature control
against the aforementioned influences, more sophisticated con-
trol algorithms for the control heater are necessary [15]. In [7],
a nonlinear model identification adaptive control is designed
by interpreting the underlying LHP model of [6] as nonlinear
parameter-varying system. Introducing an online parameter es-
timation and temperature prediction, the time variance of the
transient mass flow rate is included to achieve an improved per-
formance of the operating temperature control without extend-
ing the underlying control model.
In this work, an overall LHP state-space model is derived that
physically describes the dynamics of the temperatures and the
mass flows in consideration of variable disturbances. By track-
ing the vapor-liquid interface in the condenser and the liquid
volume in the compensation chamber, the analytical model is
able to predict the transient behavior of the LHP over the en-
tire operating range. A nonlinear controller is designed based
on the introduced model that reacts to disturbances without the
necessity of a numerical parameter estimation because of the
underlying dynamic description of the mass flows.
This paper is structured as follows: In Section 2, the fun-
damentals of the LHP operating characteristics are presented.
After the state-space modeling of the LHP in Section 3, the
model-based nonlinear controller is designed in Section 4. The
performances of the LHP model and the nonlinear controller
are evaluated in Section 5, followed by the conclusions in Sec-
tion 6.
2. LHP characteristics
The schematic structure of the LHP is shown in Fig. 1.
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Figure 1: Schematic of the LHP (cf. [12])
The LHP consists of five components: the compensation
chamber (CC), the evaporator, the condenser, the liquid line
(LL), and the vapor line (VL). Inside the evaporator, the pri-
mary wick is a porous metal structure, which builds up cap-
illary forces when the working fluid evaporates at the wick’s
outlet due to the heat load transported to the LHP by arterial
heat pipes. These capillary forces induce the circulation of the
working fluid in the loop. The vaporized working fluid flows
from the evaporator through the VL to the condenser, where it
condenses by transferring its heat to the heat sink. The tem-
perature of the remaining liquid in the condenser is further de-
creased through subcooling. By the pressure difference built up
in the primary wick, the working fluid is pushed onward from
the condenser through the LL to the CC. The CC stores excess
fluid and conduces to the control of the LHP operating tem-
perature. Since a dryout of the primary wick disrupts the fluid
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circulation and thus the continuous operation of the LHP, a sec-
ondary wick is incorporated into the CC to ensure a sufficient
supply of liquid to the primary wick at all times [12].
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Figure 2: Steady-state operating temperature (SSOT) of an LHP (cf. [13] and
[4])
Fig. 2 shows the steady-state operating characteristics of a
LHP. The graph describes the steady-state operating tempera-
ture (SSOT) as a function of the heat load. When the ambient
temperature Tamb is higher than the sink temperature Tsink, the
typical U-shaped curve of the natural SSOT is generated by the
influence of the heat input from the surroundings into the LL
(cf. [4]). At low heat loads, little vapor is generated in the
evaporator inducing low mass flow rates in the VL and the LL.
While passing the LL, the liquid is heated by the surroundings.
The higher the heat load, the higher the mass flow rates and the
shorter the residence time of the liquid in the LL to absorb heat
from the surroundings. As a consequence, more subcooling ar-
rives at the CC to compensate the heat leak from the evaporator
and the SSOT decreases [12]. At the same time, the higher
the heat load, the more the liquid-vapor interface in the con-
denser proceeds in the direction of the condenser outlet. Thus,
the liquid in the condenser is not fully subcooled to sink tem-
perature anymore and the SSOT rises. At the heat load Q˙ot,min,
the lowest SSOT is reached as a combination of high mass flow
rates and a low condenser outlet temperature. When the heat
load is higher than Q˙trans, the LHP operation mode changes
from variable conductance mode to fixed conductance mode.
In variable conductance mode, not only condensing but also
subcooling of the condensate takes place in the condenser. This
means that the condenser is not yet fully utilized and the LHP
has not yet reached its maximum heat transfer capability. In
fixed conductance mode, the vapor-liquid interface is located at
the condenser outlet leaving no space for subcooling. The LHP
operates with its maximum overall heat transfer coefficient and
the SSOT rises linearly with increasing heat load [4].
In order to control the natural SSOT at a fixed SSOT, several
actions are required depending on the amount of heat load ap-
plied to the evaporator. For heat loads between Q˙low and Q˙high,
the CC is heated to reach the fixed SSOT (red area), while for
heat loads lower than Q˙low, the CC is cooled (blue area). For
heat loads higher than Q˙high, the condenser needs to be enlarged
constructively (green area) to loose the heat to the heat sink
while preventing the rise of the total temperature level of the
LHP [13].
The operating range of the considered LHP in this paper is
defined as follows:
20 W ≤ Q˙evap ≤ 100 W, (1)
−15 ◦C ≤ Tsink ≤ 15 ◦C, (2)
0 W ≤ Q˙cc ≤ 10 W, (3)
Tset = 27 ◦C, (4)
Tamb = 25 ◦C. (5)
The operating range includes only the variable conductance
mode, since the condenser is never fully used. The considered
LHP is equipped with an electrical control heater on the CC
providing a heat input Q˙cc to the CC. The control heater en-
ables the suppression of the disturbances Q˙evap and Tsink, which
influence the curvature of the natural SSOT in Fig. 2. Thus, this
paper focuses on the LHP behavior for heat loads between Q˙low
and Q˙trans.
3. LHP state-space modeling
In this section, an analytical transient model of the LHP with
lumped parameters is created in the form of a state-space model
as required for model-based control design. In contrast to the
previous work in [6], the aim in this paper is to model the fluid’s
dynamics to extend the scope and to improve the accuracy of the
LHP model. Furthermore, a detailed modeling of the condenser
and the LL is included. In order to ease notation, all dependen-
cies of the variables are dropped in the following equations.
To derive the basic thermodynamic equations of the LHP,
the system is divided into subsystems used as control volumes
for the conservation laws. The five subsystems, presented in
Fig. 3, are the compensation chamber (CC) in red, the evapo-
rator (evap) in green, the vapor line (VL) in orange, the liquid
line (LL) in blue, and the condenser (cond) in violet.
Before the individual equations of the subsystems are estab-
lished, general assumptions for modeling the LHP are stated,
which are necessary to simplify the system without changing
the basic system’s dynamics.
Assumption 1. The vapor is assumed to be an ideal gas, the
liquid is incompressible.
Assumption 2. No superheating is regarded, since little super-
heating takes place in the considered operating range of the
LHP (see [21]). In addition, the length of the superheated
region in the condenser is negligibly small compared to the
lengths of the two-phase region and the subcooled region (see
also [17]).
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Figure 3: Representation of the five LHP subsystems
Assumption 3. In the CC, the evaporator, and the two-phase
region of the condenser, the fluid is in saturated state at all
times.
Assumption 4. The sink temperature is considered to be spa-
tially constant, since the temperature gradient along the con-
denser length varies only by a few degrees Kelvin as experi-
mental data from the LHP test bench of [21] show.
Assumption 5. For the single-phase subsystems, which are the
evaporator and the transport lines, the thermal and the fluid iner-
tia are neglected assuming that neither heat nor mass are stored
in the subsystem, since the corresponding temperature measure-
ments show almost no delay between the inlet and the outlet of
the subsystems.
Assumption 6. The physical properties of the working fluid
are functions of the respective subsystem temperatures in the
operating point. Their temperature derivatives, except for the
vapor density’s derivative, are neglected, as their temperature
dependency is small.
Assumption 7. In the considered operating range of the LHP,
the flow regime of the working fluid in the loop is laminar.
3.1. Compensation chamber
The CC subsystem includes the secondary wick and the evap-
orator core in order to set the boundary between the CC and the
evaporator at the liquid-vapor interface inside the primary wick
as depicted in Fig. 3. During LHP operation, the primary and
the secondary wick are assumed to be soaked with liquid at all
times, i.e. the fluid enters and leaves the CC in liquid state. The
CC contains both a liquid and a vapor phase in saturated states.
In order to model the CC, the approach of [17] is applied. In
this approach, the mass and the energy balance are evaluated
for the fluid inside the CC.
The mass balance implies that the change of mass contained
in the CC equals the difference of the inlet and the outlet mass
flow. Therefore, the mass balance is described by the following
equation:
d
dt
{
mlcc + m
v
cc
}
= m˙l − m˙v, (6)
where m˙l denotes the liquid mass flow, which enters the CC and
m˙v denotes the mass flow that evaporates at the outer surface of
the primary wick. The liquid and the vapor mass in the CC are
expressed as
mlcc = ρ
l
cc · V lcc, (7)
mvcc = ρ
v
cc · Vvcc (8)
with the corresponding densities ρlcc and ρ
v
cc, and volumes V
l
cc
and Vvcc, for which hold:
Vcc = V lcc + V
v
cc. (9)
By applying the ideal gas law (see Assumption 1)
ρv =
p
RT
(10)
to the vapor density and the Clausius-Clapeyron-equation
dp
dT
=
∆hv
T
(
1
ρv
− 1
ρl
) (11)
to the temperature derivative dpdT of the pressure p, the time
derivative of the vapor density is:
dρv
dt
=
(
∆hv ρl ρv
R T 2 (ρl − ρv) −
ρv
T
)
· dT
dt
(12)
with the specific heat of evaporation ∆hv and the specific gas
constant R. Equations (7), (8), (9), and (12) lead to the follow-
ing form of (6):
(
ρlcc − ρvcc
)
· dV
l
cc
dt
+
(
Vcc − V lcc
)
·
(
∆hvccρ
l
ccρ
v
cc
RT 2cc(ρ
l
cc − ρvcc)
− ρ
v
cc
Tcc
)
· dTcc
dt
= m˙l − m˙v, (13)
which is in accordance with [17]. The change of mass in the
CC in (13) is a function of the volume V lcc of the liquid inside
the CC, the homogeneous saturation temperature Tcc in the CC,
and their change rates respectively.
The thermal energy balance of the CC is given by
d
dt
{
ρlcch
l
ccV
l
cc
}
+
d
dt
{
ρvcch
v
ccV
v
cc
} − d
dt
{pccVcc}
= m˙lhlcc,in − m˙vhlcc + Q˙cc + Q˙wick. (14)
In (14), the left-hand side describes the change of thermal en-
ergy in the CC, which consists of the enthalpy of the liquid and
the vapor phase minus the flow work required for pushing the
fluid out of the CC. The right-hand side of (14) describes the
energy flows across the boundary of the subsystem. The en-
thalpy flows in and out of the CC depend on the corresponding
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mass flow rates m˙l and m˙v. The heat flow Q˙cc is applied to the
CC by the control heater, which is installed on the CC. Q˙wick
denotes the heat flow, which leaks from the evaporator to the
CC by heat conduction through the wicks. It is induced by the
temperature difference between the two subsystems. According
to [12], this leaking heat flow is given by
Q˙wick =
1
Rwick
·
(
Tevap − Tcc
)
(15)
with the thermal resistance Rwick of the wicks.
By inserting (9), the ideal gas law (10), the Clausius-
Clapeyron equation (11), and the mass balance (13) into (14),
the energy balance of the CC can be rewritten as:[(
ρlccV
l
cc +
(
Vcc − V lcc
)
· ρvcc
)
· clp,cc
+ ∆hvcc ·
(
Vcc − V lcc
)
·
(
∆hvccρ
l
ccρ
v
cc
RT 2cc(ρ
l
cc − ρvcc)
− ρ
v
cc
Tcc
)
− Vcc · ∆h
v
ccρ
l
ccρ
v
cc
Tcc(ρlcc − ρvcc)
]
· dTcc
dt
− ρvcc∆hvcc ·
dV lcc
dt
= m˙lclp · (Tcc,in − Tcc) + Q˙cc + Q˙wick. (16)
The specific heat capacity clp of the liquid phase on the right-
hand side of (16) is obtained by the arithmetic mean of clp(Tcc,in)
and clp(Tcc) neglecting the small temperature dependency of the
specific heat capacity (see Assumption 6). Tcc,in denotes the
temperature at the inlet of the CC.
The simultaneous differential equations (13) and (16) are re-
arranged resulting in the time derivatives of Tcc and V lcc:
dTcc
dt
=
m˙lclp
(
Tcc,in − Tcc) + Q˙cc + Q˙wick + A (m˙l − m˙v)(
ρlccV lcc + Dρvcc
)
clp,cc + CD ∆hvcc − VccRTcc B + ACD
,
(17)
dV lcc
dt
=
1
ρlcc − ρvcc
·
[
m˙l − m˙v −CD
· m˙lc
l
p
(
Tcc,in − Tcc) + Q˙cc + Q˙wick + A (m˙l − m˙v)(
ρlccV lcc + Dρvcc
)
clp,cc + CD ∆hvcc − VccRTcc B + ACD
]
(18)
with
A =
ρvcc∆h
v
cc
ρlcc − ρvcc
,
B =
ρlcc
R
· A,
C =
1
T 2cc
· B − ρ
v
cc
Tcc
,
D = Vcc − V lcc.
(19)
3.2. Evaporator
As stated in Sec. 2, the liquid leaving the CC evaporates com-
pletely at the outer surface of the primary wick so that only
vapor is present inside the evaporator. According to Assump-
tions 2 and 3, superheating is neglected and the vapor is as-
sumed to be saturated at all times. In this paper, the evaporator
saturation temperature is modeled as a function of the CC tem-
perature and the pressure difference between the CC and the
evaporator, because the energy balance of the evaporator con-
trol volume is used to calculate the vapor mass flow rate as de-
scribed in Sec. 3.3.
In saturated state, temperature and pressure are linked to each
other. The dependency is described by the Antoine equation [1]
for the pressure in the CC as
pcc = 10
Aw f− Bw fCw f +Tcc , (20)
and the temperature Tevap, respectively, as
Tevap = − Bw flog10(pevap) − Aw f
−Cw f , (21)
where Aw f , Bw f , and Cw f are specific parameters of the work-
ing fluid (see Appendix A). The pressure difference between
the CC and the evaporator is given by the pressure difference
∆pcap caused by capillary forces in the pores of the primary
wick minus the pressure losses ∆p f ri inside the wick:
pevap = pcc + ∆pcap − ∆p f ri. (22)
The formula for maximum capillary pressure is established by
putting the minimum curvature radius, i.e. the wick pore radius
Rp, and a minimum contact angle of θ = 0◦ into the Young-
Laplace equation for tubes (see [12]):
∆pcap =
2σ cos (θ)
Rp
(23)
with the surface tension σ of the saturated liquid working fluid
(see Appendix A). As the pore radius Rp of the wick in the con-
sidered LHP is unknown, it is chosen as Rp = 1 µm by means
of literature values ([4], [8], [23]).
Following Assumption 5, the equation to describe the vapor
mass flow rate is derived from the steady-state energy balance
of the evaporator and given by
m˙v =
Q˙evap − Q˙wick
clp
(
Tevap − Tcc
)
+ ∆hvevap
(24)
with the specific heat capacity clp of the liquid phase as the arith-
metic mean of clp(Tevap) and c
l
p(Tcc). The heat load Q˙evap is
applied to the evaporator via the arterial heat pipes. A part of
the heat load forms the heat leak Q˙wick between the evaporator
and the CC (see (15)). The residual heat
(
Q˙evap − Q˙wick
)
in (24)
causes the evaporation of the liquid at the outer surface of the
wick.
3.3. Transport lines
The presented LHP model describes the LHP behavior for
sink temperatures lower than the ambient temperature (see
Sec. 2). The evaporator temperature near the heat load is the
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highest temperature in the LHP and follows the CC tempera-
ture, which is controlled near the ambient temperature (see (4)
and (5)). Thus, the temperature difference between the VL and
the surroundings is small and for this reason a heat exchange
between the VL and the surroundings is neglected. According
to Assumption 2, no superheating arrives at the condenser inlet
and the vapor enters the condenser in saturated state.
While the heat exchange with the surroundings at the VL is
neglected, the heat exchange at the LL must be considered. The
condenser outlet temperature Tcond,out is the lowest temperature
of the LHP and close to the sink temperature when the LHP op-
erates in variable conductance mode (see Sec. 2). The temper-
ature difference between the ambient temperature and the LL
temperature determines the behavior of the operating tempera-
ture, i.e. the characteristic U-shaped curve of the SSOT. In ac-
cordance with [21], the LL is modeled as a heat exchanger with
a fixed ambient temperature Tamb (see (5)). The thermal and the
fluid inertia of the liquid in the LL are neglected (see Assump-
tion 5) and the temperature decreases exponentially along the
LL. The LL outlet temperature, which corresponds to the CC
inlet temperature Tcc,in, is given by the following equation:
Tcc,in = Tamb +
(
Tcond,out − Tamb) · exp −piDckllLll
m˙lclp
 , (25)
where kll denotes the heat transfer coefficient of the LL, Lll the
length of the LL, and Dc the diameter of the LL. The mean
specific heat capacity clp in (25) is obtained by the arithmetic
mean of clp(Tcc,in) and c
l
p(Tcond,out).
3.4. Condenser
As stated in Sec. 3.3, the vapor flow enters the condenser
from the VL in saturated state. For this reason, the condenser
is divided into a saturated, two-phase region and a subcooled,
single-phase region. It is assumed that the fluid enters the two-
phase region as pure vapor. Furthermore, the temperature Tcond
and the pressure pcond in the two-phase region are assumed to
be homogeneous, as pure substances condense at constant pres-
sure and temperature. In order to model the dynamic behavior
of the length of the two-phase region, the condensation model
of [27], which is also used in [17], is applied to the condenser of
the LHP. The zero-dimensional, transient condensation model
provides an interface tracking by describing the point of com-
plete condensation and the liquid mass flow rate at the outlet
of the condenser as a function of the vaporous mass flow rate
at the inlet of the condenser. The advantage of this model is
that it is a dynamic, lumped-parameter model that needs only
one constant, which is the heat transfer coefficient of the two-
phase region k2φ. The behavior of the condenser is assumed to
be governed by mass and energy conservation principles, while
the influence of momentum and thermal inertia are neglected.
The distance between the condenser inlet and the point of com-
plete condensation is described by η, which denotes the length
of the two-phase region in the condenser as part of the total con-
denser length Lcond, as shown in Fig. 4.
The mass balance for the two-phase region yields
d
dt
{
ρ2φ · Ac · η
}
= m˙v − m˙∗ (26)
Lcond
η
subcooled region two-phase region
m˙vm˙l m˙∗
Q˙sc Q˙2φ
Tcond,out Tcond Tcond
Figure 4: Schematic of the condenser
with the cross-sectional area Ac of the condenser, the inlet mass
flow rate m˙v and the outlet mass flow rate m˙∗. The variable
m˙∗ denotes the mass flow rate, which flows across the mov-
ing interface between the two-phase region and the subcooled
region (see Fig. 4). In order to simplify the problem, the con-
denser model assumes a homogeneous density in the two-phase
region:
ρ2φ = ρ
l
cond · (1 − α¯) + ρvcond · α¯. (27)
It is determined by the so-called mean void fraction α¯, which is
time invariant and hence neglects the transient changes of the
fluid momentum. According to [27], a value of
α¯ = 0.82 (28)
is chosen for the condensation in the LHP.
According to the first law of thermodynamics, the energy bal-
ance of the two-phase region is
d
dt
{[
ρlcond · hlcond · (1 − α¯) + ρvcond · hvcond · α¯
]
· Ac · η
}
= −Q˙2φ + hvcond · m˙v − hlcond · m˙∗, (29)
where the left-hand side describes the change of homogeneous
enthalpy in the subsystem and the right-hand side stands for the
enthalpy flows of the entering vapor and the leaving condensate
minus the heat flow Q˙2φ. The variable Q˙2φ denotes the heat
flow, which is released during condensation and is transferred
to the heat sink by heat convection and heat conduction. It is
expressed by
Q˙2φ = k2φ · pi · Dc · η · (Tcond − Tsink) (30)
with the aforementioned heat transfer coefficient of the two-
phase region k2φ and the diameter Dc of the condenser. The
sink temperature Tsink is assumed to be spatially constant along
the condenser (see Assumption 4).
By combining (26) and (29), the differential equation for η is
obtained [27]:
dη
dt
= −k2φpiDc(Tcond − Tsink)
ρvcondα¯Ac∆h
v
cond
· η + 1
ρvcondα¯Ac
· m˙v. (31)
The equation for the mass balance of the subcooled region
d
dt
{
ρlcond · Ac · (Lcond − η)
}
= m˙∗ − m˙l, (32)
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together with (26) and (29) is used to express the mass flow rate
m˙∗ [17]:
m˙∗ = m˙v − m˙v − m˙l
1 − ρlcond
ρ2φ
. (33)
In order to determine the saturation temperature Tcond, the
steady-state energy balance of the two-phase region is evalu-
ated:
Tcond = Tsink +
∆hvcond
k2φpiDcη
· m˙∗. (34)
While the temperature Tcond of the two-phase region is assumed
to be spatially constant, the temperature of the liquid in the sub-
cooled region decreases along the length (Lcond − η) due to the
heat flow Q˙sc to the heat sink. The subcooling process is mod-
eled by describing the subcooled region as a heat exchanger
at a constant casing temperature Tsink, analogously to the de-
scription of Tcc,in in the LL. This results in the condenser outlet
temperature
Tcond,out = Tsink + (Tcond − Tsink)
· exp
−piDcksc
m˙lclp
· (Lcond − η)
 (35)
with the heat transfer coefficient ksc of the subcooled region.
The heat capacity clp in (35) is described by the arithmetic mean
of clp(Tcond) and c
l
p(Tcond,out).
3.5. Liquid mass flow rate
For the description of the liquid mass flow rate, the transient
form of the conservation of momentum of the liquid is evalu-
ated. The considered control volume consists of the liquid fluid
column in the liquid line and the condenser. Therewith, the dif-
ferential equation for the incompressible liquid mass flow rate
m˙l is obtained (see Assumption 1):
dm˙l
dt
=
1
Lcond − η + Lll ·
 m˙2l
ρlcondAc
− m˙
2
l
ρlcc,inAc
+ pcond · Ac
− pcc · Ac − 128
pi
· Lcond − η + Lll
D4c
· µlAcm˙l
ρlcc,in
 . (36)
The pressures pcc and pcond are deduced from the respective sat-
uration temperatures by using the Antoine equation (20). The
occurring pressure losses are calculated in accordance with As-
sumption 7. Eq. (36) is similar to the equation used in [17]
without LHP inclination. To simplify the equation, the total
liquid column between the vapor-liquid interfaces in the con-
denser and the CC is calculated without the liquid length in the
CC, since the liquid length in the CC is relatively small in com-
parison with the liquid lengths in the LL and the condenser. In
addition, the dynamic influence of the vapor-liquid interface in
the CC on the liquid column is negligible compared to the other
terms in (36).
It should be noted that in contrast to the depiction in Fig. 3,
the condenser and the transport lines have the same diameter
Dc and therefore the same cross-sectional area Ac.
3.6. LHP state-space model
After completing the thermodynamic modeling of the LHP,
the state-space model is derived. By inserting the equations
(15), (20), (21), (22), (24), (25), (34), and (35) into the four dif-
ferential equations (17), (18), (31), and (36), the dynamical be-
havior of the LHP is described by a nonlinear parameter-variant
state-space model:
x˙ =
d
dt

Tcc
η
V lcc
m˙l
 = f
(
Tcc, η,V lcc, m˙l, Q˙evap,Tsink, Q˙cc
)
,
y = Tcc
(37)
with the variable lumped parameters Rwick, k2φ, ksc, and kll.
3.7. Parameter determination
The LHP as thermodynamic system is a nonlinear parameter-
variant system, where the parameters further depend on flow
regimes, velocity-dependent pressure losses or spatial variation.
Hence, the lumped parameters of (37) are determined in a cho-
sen operating point (OP) for the subsequent model-based con-
trol design in the following section.
The temperature-dependent parameters are calculated from
the corresponding temperatures in the OP with the functions
in Appendix A (see Assumption 6). Following the parameter
determination process in [6], the lumped parameters Rwick, k2φ,
ksc, and kll are calculated by solving the stationary equations of
(37). Unfortunately, the system of equations for the lumped pa-
rameters is not solvable due to the dependent differential equa-
tions (17) and (18), and the implicit forms of (25), (34), and
(35). For the solution of this problem, the temperatures T opcond,out
and T opcond must be predefined with their values in the OP, which
can be derived from experimental data. Hence, the new system
of equations contains the differential equations (17) and (31),
and the equations (34), (35), and (25). The solution of this sys-
tem includes the four lumped parameters (Ropwick, k
op
2φ , k
op
sc , and
kopll ) and the CC inlet temperature (T
op
cc,in) in the OP.
4. Model-based control design
For the nonlinear state-space system (37), a Lyapunov-based
controller is designed. Similar to the control design process in
[7], the controlled variable is the CC temperature, which corre-
sponds to the first state in (37). The manipulated variable Q˙cc
as control heater output has only an direct impact on the first
state, the CC temperature. The block diagram of the nonlinear
feedback control loop is depicted in Fig. 5.
Lyapunov’s direct method allows the design of a nonlinear con-
troller, which eliminates the control error
e = Tset − Tcc (38)
with the setpoint temperature Tset being defined in (4). The
chosen candidate V(e) for a positive definite Lyapunov function
depends on the control error in (38):
V(e) =
1
2
e2. (39)
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Figure 5: Block diagram of the nonlinear controller for the LHP control heater
For a decreasing V(e) outside Tset along every trajectory e, a
negative definite derivative V˙(e) of the Lyapunov function is
inevitable:
V˙(e) = e · e˙ = (Tset − Tcc) · (−T˙cc). (40)
The negative definiteness is established when the following
equation holds:
T˙cc = λ · (Tset − Tcc) with λ > 0. (41)
The parameter λ sets the rate of decrease of the Lyapunov func-
tion in (39) and is adjusted to the dynamics of (17). Inserting
(17) in (41) yields:
m˙lclp
(
Tcc,in − Tcc) + Q˙cc + Q˙wick + A (m˙l − m˙v)(
ρlccV lcc + Dρvcc
)
clp,cc + CD ∆hvcc − VccRTcc B + ACD
= λ · e (42)
with A, B, C, and D defined in (19). Thus, the final control law
of the control heater results in:
Q˙cc = λe
[(
ρlccV
l
cc + Dρ
v
cc
)
clp,cc + CD ∆h
v
cc −
VccR
Tcc
B + ACD
]
− A (m˙l − m˙v) − clpm˙l
(
Tcc,in − Tcc) − Q˙wick. (43)
5. Numerical validation
For the validations of the proposed LHP model and the
designed controller, the numerical model of [21] is used as
LHP simulation, which was already adapted and used for con-
troller validation in [7]. This LHP simulation is fitted and vali-
dated with measurements from the test bench of the considered
LHP and provides a detailed simulation of the LHP tempera-
tures over the entire operating range. The advantage of using an
LHP simulation for validation is the availability of time-variant
variables, which cannot be measured in the considered hermet-
ically sealed LHP besides surface temperatures. However, in-
consistency in the parameter determination for the introduced
state-space model occurs, when the iterative solution method of
the LHP simulation converges to a condenser outlet temperature
smaller than the sink temperature Tsink due to the discretization
of the condenser, which is contrary to the second law of ther-
modynamics. In this case, the condenser outlet temperature for
the parameter determination is set to values slightly higher than
the sink temperature to determine the appropriate value of ksc
in the OP.
At first, the proposed LHP model (Model B) is compared to
the LHP simulation (Sim) and to the LHP model (Model A)
of [6], whose temperatures are validated with experimental
data. Second, the nonlinear Lyapunov-based controller (Con-
troller B) based on the proposed LHP model is compared in
the LHP simulation to the nonlinear Lyapunov-based controller
(Controller A) of [7], where the compared LHP model of [6] is
used in the control design.
5.1. Model validation
According to the operating range of the considered LHP in
Sec. 2, the following OP for the parameter determination (see
Sec. 3.7) is chosen from the simulation results:
Table 1: Chosen operating point (OP) from simulated data
inputs states others
Q˙opevap = 60.00 W
T opsink = 0
◦C
Q˙opcc = 4.653 W
T opcc = 26.86
◦C
ηop = 0.3268 m
V l,opcc = 6.276 cm
3
m˙opl = 50.85 mg s
−1
T opevap = 26.95
◦C
T opcond = 26.93
◦C
T opcond,out = 0.0001
◦C
Following the procedure in Sec. 3.7, the four lumped parame-
ters are calculated in the OP as:
Ropwick = 0.077 20 K W
−1, (44)
kop2φ = 1064 W m
−2 K−1, (45)
kopsc = 312.8 W m−2 K−1, (46)
kopll = 4.804 W m
−2 K−1. (47)
The pressure losses ∆p f ri in the wick in (22) are determined
with the corresponding saturated temperature difference in the
chosen OP:
∆p f ri = 36.71 kPa. (48)
The comparison of Model A and Model B includes the reaction
of the CC temperatures Tcc to changes of the input variables,
which are the disturbances Q˙evap and Tsink, and the manipulated
variable Q˙cc. In Fig. 6, the trajectories of these four variables
for both models and the LHP simulation are presented.
Under the same influence of the three input variables, the per-
formances of Model A (dashed green) and B (dashed-dotted
red) differ visibly in comparison with the LHP simulation (solid
blue). As expected, Model A reacts properly to the change
of the control heater output with a maximal absolute devia-
tion (MAD) of 1.01 K between t = 0 and 2500 s, but reaches
its limitations with changes in the disturbances resulting in ab-
solute deviations up to 3.17 K. In addition, the CC tempera-
ture of Model A shows a contrary behavior to the heat load
change due to its fixed mass flow rate. However, the CC tem-
perature of Model B is very similar to the LHP simulation with
both a correct dynamic behavior and a MAD of 0.34 K over
the entire simulation time. While the CC dynamics are adapted
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Figure 6: Comparison of the CC temperatures of Model A (green), Model B
(red), and the LHP simulation (blue) to various input changes (the control heater
output, the heat load, and the sink temperature)
by directly choosing a suitable lumped thermal capacity of the
CC subsystem in Model A, the CC dynamics in the introduced
Model B depend on the initial liquid volume V lcc(t = 0) in the
CC describing yet another impact of the initial phase distribu-
tion on the LHP dynamics as on the LHP startup as explained
in [14].
For a closer look on the differences between Model B and
the LHP simulation, the state variables of (37) are compared to
their corresponding values of the LHP simulation in Fig. 7.
As mentioned before, the CC temperature Tcc of Model B
(dashed-dotted red) agrees with the CC temperature of the
LHP simulation (solid blue). The lengths η of the two-phase
region in the condenser of Model B and of the LHP simulation
are close together with a small MAD of 0.006 m due to the ne-
glected superheating area in the condenser. Hence, the Assump-
tion 2 is approved. While the division of the CC fluid volume
in the LHP simulation is fixed, the changes in the CC liquid
volume of Model B are small with a very low impact on the
Figure 7: Comparison of the state variables of Model B (red) with the corre-
sponding values of the LHP simulation (blue) to the various input changes in
Fig. 6
CC temperature. The small deviation between the liquid mass
flow rates in Fig. 7 is similar to the deviation in the vapor mass
flow rates in Fig. 8, especially for the first two changes in the
input variables. The reason for these deviations is the heat leak,
which is fitted to experimental data in the LHP simulation as a
function of only the heat load and the sink temperature, whereas
the heat leak between the evaporator and the CC in Model B is
a function of the temperatures of these subsystems. Therefore,
the control heater output has also an impact on the heat leak.
The different heat leak models cause the offset between the CC
inlet temperatures of Model B and the LHP simulation in Fig. 8,
because the thermal energy balance in the CC depends on both
the CC inlet temperature and the heat leak.
Similar to the CC temperature, the saturation temperatures
of the evaporator and the condenser in Fig. 8 are close to their
corresponding temperatures of the LHP simulation. The spikes
in the liquid mass flow rate of the LHP simulation in Fig. 7,
which also appear in the vapor mass flow rate and the CC inlet
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Figure 8: Comparison of the further variables of Model B (red) with the corre-
sponding values of the LHP simulation (blue) to the various input changes in
Fig. 6
temperature in Fig. 8, are much smaller in Model B. The rea-
son is that the liquid mass flow rate is a function of the control
heater output in the LHP simulation, whereas the control heater
input has only a indirect impact on the liquid mass flow rate in
Model B through the CC temperature and its pressure level.
Nevertheless, the dynamics of the LHP variables are pre-
cisely modeled in Model B in order to serve as an adequate con-
trol model for the subsequent model-based control design in the
next section. Another advantage of Model B over the LHP sim-
ulation relates to the computational effort. For Model B, the
simulation of the state variables took only 7 s, whereas the nu-
merical LHP simulation terminated after almost 24 min for a
simulation time of 133 min.
5.2. Control validation
After the introduced LHP model Model B is validated in
Sec. 5.1, the nonlinear controllers Controller A and Con-
troller B based on Model A and Model B are tested and evalu-
ated with the LHP simulation. The control performance of both
controllers with the respective disturbance profiles are depicted
in Fig. 9.
Figure 9: Comparison of the nonlinear controllers Controller A (green) and
Controller B (red) on the basis of Model A and Model B under varying distur-
bances (the heat load and the sink temperature)
The improvement of the controller performance by introduc-
ing the fluid’s dynamics to the control model are clearly visi-
ble. Controller B with a MAD of 0.03 K between the CC tem-
perature and the setpoint temperature shows an improved dis-
turbance rejection compared to Controller A with a MAD of
0.16 K, which corresponds to an improvement of 81 %. The
root mean square error (RMSE) between the CC temperature
and the setpoint temperature is improved by 86 % (RMSEA =
0.07 K and RMSEB = 0.01 K). Although the rates of de-
crease of both controllers are increased up to the stability limit
(λA = 3 and λB = 1), Controller A can’t reach the robustness
of Controller B. Furthermore, the typical rise of the deviation
between the CC temperature and the setpoint temperature with
decreasing sink temperature, as mentioned in [6], is visible in
both control results, since also only the CC temperature is con-
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trolled. However, the good agreement of the introduced LHP
state-space model with the numerical LHP simulation mirrors
the improved robustness of Controller B towards Controller A.
6. Conclusions
In this paper, the model-based control design of a nonlinear
controller for the control heater of the LHP for temperature con-
trol has been presented. The new underlying control model has
been deduced from the basic conservation equations of ther-
modynamic systems as an analytical LHP state-space model.
By extending the existing LHP temperature model with the
fluid’s dynamics, the introduced LHP model includes the dy-
namic disturbance behavior of the LHP. As a result, the LHP
temperatures can be simulated more accurately with the four-
dimensional state-space model than with the former state-of-
the-art models. In addition, only five unknown parameters must
be determined in the operating point. Based on the new LHP
state-space model, a nonlinear controller has been designed and
compared to the nonlinear controller, which is based on the for-
mer LHP temperature model. The control results have shown
that the new nonlinear controller improves the disturbance re-
jection in comparison to the former nonlinear controller.
Appendix A. Physical properties of the working fluid
The working fluid of the considered LHP is ammonia. The
corresponding values are taken from [26]. All temperatures are
expressed in ◦C.
The density ρl of the saturated liquid is approximated with
the polynomial
ρl(T ) = −4 ·10−5 ·T 3−0.0027 ·T 2−1.3522 ·T +638.57. (A.1)
The density ρv of the saturated vapor is approximated with the
polynomial
ρv(T ) = 1 ·10−5 ·T 3 −0.0017 ·T 2 + 0.1229 ·T + 3.4553. (A.2)
The specific heat capacities are:
clp(T ) = 5 · 10−4 · T 3 + 3 · T 2 + 5.6 · T + 4616.5 (A.3)
for the saturated liquid and
cvp(T ) = 0.1 · T 2 + 15.1 · T + 2680.8 (A.4)
for the saturated vapor. The heat of evaporation ∆hv is given by
∆hv(T ) = −3 ·10−2 ·T 3−11.5 ·T 2−3572.3 ·T +1262300. (A.5)
The dynamic viscosity of the liquid is approximated by the
polynomial
µl(T ) =
(
−2 · 10−8 · T 5 + 10−6 · T 4 − 10−4 · T 3
+ 0.0151 · T 2 − 1.8665 · T + 170.1
)
· 10−6. (A.6)
The Antoine parameters are
Aw f = 9.394997, (A.7)
Bw f = 879.9236, (A.8)
Cw f = −38.15. (A.9)
The surface tension σ of the saturated liquid is ([11])
σ(T ) = 0.10175 ·
(
1 − T + 273.15
405.50
)1.21703
. (A.10)
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